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Abstract

This paper describes the aeroelastic model to predict the blade loads and the average thrust of a mi-
cro air vehicle (MAV) scale cycloidal rotor. The analysis was performed using two approaches, one using
a non-linear FEM analysis for moderately flexible blades and second using a multibody based large-
deformation analysis (especially applicable for extremely flexible blades). An unsteady aerodynamic
model is included in the analysis with two different inflow models, uniform inflow and a double-multiple
streamtube inflow model. For the cycloidal rotors using moderately flexible blades, the aeroelastic analy-
sis was able to predict the average thrust with sufficient accuracy over a wide range of rotational speeds,
pitching amplitudes and number of blades. However, for the extremely flexible blades, the thrust was
underpredicted at higher rotational speeds and this may be because of the overprediction of blade defor-
mations. The analysis clearly showed that the reason for the reduction in the thrust producing capability
of the cycloidal rotor with blade flexibility may be attributed to the large nose-down elastic twisting of
the blades in the upper half cylindrical section which is not compensated by a nose-up pitching in the
lower half section. The inclusion of the actual blade pitch kinematics and unsteady aerodynamics was
found crucial in the accurate lateral force prediction.

Nomenclature

a Nondimensionalized location of 3/4-chord ahead of the pitching axis, ηr/c
āb Acceleration vector of an arbitrary point on the blade
A Cycloidal-rotor rectangular projected area, 2bR
AR Aspect ratio of the blades, b/c
b Blade span
c Blade chord
Cd Drag coefficient
Cdi

Induced drag coefficient
Cd0 Profile Drag coefficient
Cl Lift coefficient
Clc Circulatory lift coefficient
Clnc Noncirculatory lift coefficient
Clα Lift curve slope
CT Rotor thrust coefficient, TRes/ρA(ΩR)

2

e Oswald’s efficiency factor
eg Chordwise location of the blade c.g. ahead of the elastic axis
EIy Flapwise blade bending stiffness
EIz Lagwise blade bending stiffness
Fn, Fc Blade normal and chordwise forces
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Fw, Fv Blade forces along the radial and tangential directions in the undeformed rotating frame
FZ , FY Blade forces in the inertial frame along Z and Y axis respectively
GJ Blade torsional stiffness
I0 Blade rotational moment of inertia about c.g. axis
k Reduced frequency
m Mass per unit length of the blade
M Mass matrix
Mϕ Blade pitching moment in the undeformed frame
Nb Number of blades
P Blade aerodynamic power
r̄ Position vector of an arbitrary point on the deformed blade
R Radius of the cyclorotor
s Non-dimensional distance traveled by the airfoil in semi-chords
t Blade thickness for the flat plate blades
TDU Transformation matrix from an undeformed to deformed coordinate system
TRes Resultant thrust
Tu, Td Upstream and downstream thrust in the double multiple streamtube inflow model
Tz, Ty Rotor thrust in the inertial frame along X and Y axis respectively, N
UP Velocity component normal to the blade chord
UT Velocity component tangential to the blade chord
v Blade tangential bending deformation
vi Induced velocity in the uniform inflow model
vu, vd Upstream and downstream induced velocities in the double multiple streamtube inflow model
V̄b Velocity vector of an arbitrary point on the blade
V̄w Wind velocity vector at an arbitrary location on the blade
w Blade radial bending deformation, wake velocity in multiple streamtube model
xξ, yη, zζ Blade deformed coordinate system

X(Î), Y (Ĵ), Z(K̂) Cyclorotor non-rotating inertial coordinate system
X(s), Y (s) Circulatory deficiency functions

XR(̂i), YR(ĵ), ZR(k̂) Cyclorotor undeformed rotating coordinate system
α Quasi-steady blade section angle of attack
αe Unsteady effective angle of attack
β Phase angle subtended by the resultant thrust vector with vertical
η, ζ Coordinates parallel and normal to the blade chord in the deformed blade coordinate
ηr Chordwise location of 3/4-chord ahead of the pitching axis
Ω Rotational speed of the rotor
ϕ(s) Wagner function

ϕ̂ Blade sectional elastic twist
ρ Air density
Ψ Azimuthal location
θ Rigid blade pitch angle

θ1 Effective sectional geometric angle, θ + ϕ̂
Superscript
I Inertial forces
A Aerodynamic forces

I. Introduction

In recent years, there has been a growing interest in a new class of very small flight vehicles called
micro-air-vehicles (MAVs), which are intended for reconnaissance in confined and hazardous spaces. As the
battlegrounds of the future move to restricted, highly populated urban environments, MAVs may appear
to be extremely useful assets to the military. MAVs can also be used for civilian applications such as
biochemical sensing, traffic monitoring, border surveillance, fire and rescue operations, wildlife surveys,
power-line inspection, and real-estate aerial photography, just to name a few. Several fixed-wing MAVs have
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already been successfully tested [1–5]. One particular example [4, 5] has a weight of 80 grams and a flight
endurance of about 30 minutes. Even though fixed-wing MAVs may be the best performers today in terms
of the imposed size and weight constraints, they lack the ability to hover or to operate in highly constrained
environments. It is quite important to develop an efficient hover-capable highly maneuverable MAV with an
expanded flight envelope. To this end, several hovering-capable MAVs based on single main rotor or coaxial
rotor configurations have been successfully built and flight-tested [6–8]. However, these MAVs operate in
the blade chord Reynolds number range from 10,000 to 60,000, and so they suffer from the aerodynamic
inefficiencies of small scale. In fact, most MAVs based on conventional rotors have shown relatively low
performance, e.g., the maximum figure of merit achieved to date is only about 0.65 [6].

(a) 4-bladed Cyclorotor. (b) Quad-rotor Cyclocopter.

Figure 1. Cyclocopter.

A MAV concept based on a cycloidal rotor (cyclorotor) system has been proposed as an alternative to a
conventional rotor-based MAV. Figure 1(a) shows an isolated cyclorotor and Fig. 1(b) shows a hover capable
quad-cyclocopter that has been recently built [9]. A cyclorotor (also known as a cyclocopter or cyclogiro) is
a rotating-wing system where the span of the blades runs parallel to the axis of its rotation. The pitch angle
of each of the blades is varied cyclically by mechanical means such that the blades experiences positive angles
of attack at both the top and bottom positions of the azimuth cycle (Fig. 2(a)). The resulting time-varying
lift and drag forces produced by each blade can be resolved into the vertical and horizontal directions, as
shown in Fig. 2(a). Varying the amplitude and phase of the cyclic blade pitch can be used to change the
magnitude and direction of the net thrust vector produced by the cyclorotor.

Compared to a conventional rotor, each spanwise blade element of a cyclorotor operates at similar aero-
dynamic conditions (i.e., at similar flow velocities, Reynolds numbers, and angles of incidence), and so the
blades can be optimized to achieve the best aerodynamic efficiency. Moreover, because the blades are cycli-
cally pitched once per revolution (1/rev), unsteady flow mechanisms may delay blade stall onset and in turn
may augment the lift produced by the blades. Recent tests on a MAV-scale cyclorotor indicated that this
concept can be aerodynamically more efficient than a conventional rotor at the lower Reynolds numbers at
which MAVs operate [9–14]. Furthermore, because the thrust vector of a cyclorotor can be instantaneously
set to any direction perpendicular to the rotational axis, a cyclorotor-based MAV may ultimately show better
maneuverability and agility as compared to a MAV powered by a conventional rotor system, which are par-
ticularly important attributes for constrained indoor flight operations. One major drawback of a cyclorotor
is its relatively large rotating structure which might offer a weight penalty when compared to a conventional
rotor.

Most of the previous studies on cyclorotors have been experimental in nature and also performed at
relatively larger scales [15–29]. The key conclusions from these studies are summarized in Ref. [12]. One of
the initial analytical studies on cyclorotors was performed by Wheatley [19, 20] in 1930s, and it focused on
the development of a simplified aerodynamic model which was validated against wind tunnel measurements.
However, the analysis showed poor agreement with the experimental measurements. McNabb [25] developed
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(a) Blade kinematics and forces.

(b) Coordinate system.

Figure 2. Cyclorotor blade kinematics, forces and coordinate system definition.

an unsteady aerodynamic model of a cyclorotor, and the predictions were found to correlate well with the
measurements. More recently, Kim et al. [15–18] developed an aerodynamic model for a cyclorotor and a
parallel analysis was conducted using CFD to help predict the aerodynamic characteristics. However, all
these studies were performed on large-scale rotors at Reynolds numbers of the order of 105 or higher. The
only low Reynolds number computational study was conducted by Iosilevskii and Levy [27], who performed
a 2-D CFD investigation of a cyclorotor operating at blade chord Reynolds numbers of about 40,000. This
CFD study helped expose the complex aerodynamic interactions between the rotating blades, which also
showed good agreement with the measured time-averaged forces.

Since all these studies were focussed on developing aerodynamic models, the effects of the blade defor-
mations were not included while calculating the aerodynamic performance. However, experimental studies
have shown that at higher rotating speeds, the cycloidal rotors experience large inertial (mostly centrifugal
force) and aerodynamic forces causing significant bending and torsional deformation especially for flexible
blades. These deformations play a crucial role in the aerodynamic performance of the cycloidal rotor both in
terms of thrust and power. Some of the results from the previous studies [12] are shown in Fig. 3. It can be
clearly seen that the average thrust produced by the cyclorotor reduces as the bending and torsional stiffness
of the blade is decreased. Therefore, the effect of deformations cannot be neglected for the evaluation of the
performance of the cyclorotor. The goal of the present study is to develop a refined aeroelastic model to
predict the performance of a MAV-scale cyclorotor.

The structural modeling of the cyclorotor blade is performed using two parallel approaches, (1) non-linear
finite element analysis for a beam undergoing radial bending, tangential bending and twisting motions and,
(2) multibody based analysis using a full-nonlinear beam model suitable for extremely flexible blades that
undergo large displacements. Even though for the moderately flexible blades, the finite element model was
able to predict the deformations accurately, for the extremely flexible blades, a full-nonlinear model based
analysis may be important to predict the deformations correctly [30]. The structural model is then coupled
with an unsteady aerodynamic model which uses two different inflow models, uniform inflow and a double-
multiple streamtube (D-MS) based inflow model. Finally, the thrust predicted by the aeroelastic models will
be validated with the experimental measurements for moderately flexible and flexible blades.

4 of 28

American Institute of Aeronautics and Astronautics



400 600 800 1000 1200 1400 1600 1800 2000
0.1

0.12

0.14

0.16

0.18

0.2

0.22

Rotational speed, Ω (rpm)

C
oe

ffi
ci

en
t o

f t
hr

us
t, 

C
T

t/c=6%
t/c=3%
t/c=2%
t/c=1%

Flat plate blades with     
different t/c ratios  

Figure 3. Effect of flexibility on cyclorotor thrust coefficient (CT ).

II. Analysis Methodologies

In the present study, two completely independent aeroelastic models have been developed to predict the
performance of a MAV-scale cyclorotor. The first model uses a structural model based on non-linear finite
element analysis for a beam undergoing radial bending, tangential bending and torsional degrees of freedom
with an unsteady aerodynamic model and two different inflow models, uniform inflow and double-multiple
streamtube (D-MS) model. The steady blade periodic response is obtained using a finite element in time
approach. However, this model can be only used for moderate blade deformations. Therefore, a second
model was developed using a multibody based analysis (using the software MBDyn) for the structural model
so that it can handle large deformations. The aerodynamic formulation is same as the previous model except
that it uses a state space formulation for the unsteady loads calculation. For the remainder of the paper,
the first model will be referred to as the FEM analysis and the second model as MBDyn.

A. FEM Based Aeroelastic Analysis

1. Rotor structural model

The cyclorotor blades are modeled as non-linear, isotropic Euler-Bernoulli beam undergoing radial bend-
ing (flap, w), tangential bending (lag, v) and elastic twist (ϕ) deformations. The definitions of radial bending,
tangential bending and torsional deformations are shown in Figs. 4(a) and 4(b). The coupled flap-lag-torsion
equations are based on Ref. [31] and can handle moderate deformations since the model includes geometric
non-linearities up to second order. Each blade is modeled using 10 finite elements undergoing flap, lag and
torsional degrees of freedom. The cyclorotor blades were assumed to have a pin-pin boundary conditions for
bending and a fixed-free boundary condition for torsion (Fig. 2(b)). Torsion has a fixed boundary condition at
the root because the pitching linkages are assumed to be rigid. In the present study, three different composite
laminated blades were analyzed, which included a baseline NACA 0010 carbon blade, 6% thickness-to-chord
ratio (t/c) flat plate carbon blade, and 3% t/c flexible flat plate carbon blade. All the blades had uniform
chord of 1 inch and span of 6 inches. Detailed structural testing was conducted to obtain the bending and
torsional stiffness (EIy, EIz and GJ) of the blades. The structural properties of the different blades are
provided in Table. 1. The equations of motion for the blade is developed using Hamilton’s principle. To

5 of 28

American Institute of Aeronautics and Astronautics



obtain the steady blade periodic response the governing partial differential equations are solved using finite
element method in time.

Table 1. Blade structural properties

Blade EIy(N −m2) EIz(N −m2) GJ(N −m2) m(Kg/m) c.g location from LE

Baseline NACA 0010 0.19 2.9 0.25 0.025 40%c

6% flat plate 0.40 102 0.12 0.061 50%c

3% flat plate 0.026 29 0.01 0.022 50%c

(a) Forces

(b) Deformations

Figure 4. Definition of forces and deformations on a cyclorotor.

2. Inertial force formulation

Figures 2(b) and 4(a) shows the coordinate system and the definition of the inertial forces on a cycloidal
rotor. Let the position of an arbitrary point on the deformed beam be given by the position vector r̄ which
is given by:

r̄ = x1î+ y1ĵ + (z1 +R)k̂, (1)

where î, ĵ and k̂ are the unit vectors along along the rotating undeformed coordinate system (XR, YR, ZR).
x1, y1 and z1 can be expressed as

x1 = x− v′(y1 − v)− w′(z1 − w),

y1 = v + (y1 − v),

z1 = w + (z1 − w), (2)

and

y1 − v = η cos θ1 − ζ sin θ1,

z1 − w = η sin θ1 + ζ cos θ1, (3)

6 of 28

American Institute of Aeronautics and Astronautics



θ1 = θ + ϕ̂. (4)

Now, the velocity vector, V̄b is given as:

V̄b =
∂r̄

∂t
+ Ω̄× r̄, (5)

where
Ω̄ = −Ωî, (6)

and
∂r̄

∂t
= ẋ1î+ ẏ1ĵ + ż1k̂. (7)

For the present blades η = eg and ζ = 0, where eg is the chordwise location of the blade c.g. ahead of the
elastic axis. For instance, if the blade elastic axis is at 1/4-chord and the blade c.g. is at 1/2-chord, then
eg = −0.25c.

ẋ1 = −(v̇′ + w′θ̇1)eg cos θ1 − (ẇ′ − v′θ̇1)eg sin θ1, (8)

ẏ1 = v̇ − eg sin θ1θ̇1, (9)

ż1 = ẇ + eg cos θ1θ̇1, (10)

V̄b = Vbxî+ Vby ĵ + (Vbz)k̂, (11)

Vbx = −(v̇′ + w′θ̇1)eg cos θ1 − (ẇ′ − v′θ̇1)eg sin θ1, (12)

Vby = v̇ − eg sin θ1θ̇1 +Ω(w + eg sin θ1 +R), (13)

Vbz = ẇ + eg cos θ1θ̇1 − Ω(v + eg cos θ1). (14)

Now the acceleration of the point (x1, y1, z1) on the blade is given by:

āb =
∂2r̄

∂t2
+ Ω̄× (Ω̄× r̄) + 2Ω̄× ∂r̄

∂t
, (15)

∂2r̄

∂t2
= ẍ1î+ ÿ1ĵ + z̈1k̂, (16)

ẍ1 = −eg cos θ1(v̈′+w′θ̈1+ẇ′θ̇1)+(v̇′+w′θ̇1)eg sin θ1θ̇1−eg sin θ1(ẅ′−v′θ̈1−v̇′θ̇1)−(ẇ′−v′θ̇1)eg cos θ1θ̇1, (17)

ÿ1 = v̈ − eg sin θ1θ̈1 − θ̇1
2
eg cos θ1, (18)

z̈1 = ẅ + eg cos θ1θ̈1 − θ̇1
2
eg sin θ1. (19)

From eqns 15 – 19, the inertial forces in the flap (F I
w), lag (F I

v ) and torsion (M I
ϕ) direction are given as:

F I
w = −m[ẅ + eg cos θ1θ̈1 − θ̇1

2
eg sin θ1 − Ω2(w + eg sin θ1 +R)− 2Ω(v̇ − eg sin θ1θ̇1)], (20)

F I
v = −m[v̈ − eg sin θ1θ̈1 − θ̇1

2
eg cos θ1 − Ω2(v + eg cos θ1) + 2Ω(ẇ + eg cos θ1θ̇1)], (21)

M I
ϕ = −meg[−v̈ sin θ1 + ẅ cos θ1 − 2Ω(ẇ sin θ1 + v̇ cos θ1)− Ω2 cos θ1(w +R) + Ω2 sin θ1v]− I0θ̈1. (22)

B. Multibody Model

In modeling a non-conventional system, such as the cyclorotor, the multibody approach appears attractive
because it provides the opportunity to build hierarchically models of increasing complexity. This attribute
has been exploited in this work, where first of all an aeroelastic model of a single blade has been realized
and validated, then the same blade has been used to model 2-, 3-, 4-, and 5-bladed rotors. Subsequently,
the model complexity was increased through an addition of a kinematically exact model of the blades 1/rev
pitching mechanism. Within the multibody formalism, the latter is been added using the elements of the
joints library to reproduce the actual joints of the pitching mechanism.

A multibody model of the cyclorotor has been realized using the general-purpose open-source multibody
simulation software MBDyn. MBDyn provides the availability of many working elements, together with
the possibility to add new elements. In the present work this possibility has been exploited to add some
aerodynamics features fundamental for the cyclorotor modeling, such as the unsteady aerodynamics model
based on indicial aerodynamics and the inflow models for this unconventional rotor.
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Figure 5. Multibody models.

1. The multibody solver MBDyn

MBDyn is a software intended to model generic multidisciplinary problems, characterized by exact con-
strained rigid body dynamics, deformable components, simplified aerodynamics, and vehicle controls. It
solves Initial Value Problems (IVP) in form of Differential-Algebraic Equations (DAE),using a family of
multistep L-stable integration algorithms.

The dynamics of the rigid bodies is written in term of Newton-Euler equations, constrained using La-
grange’s multipliers. The equations of motion of all the unconstrained nodes can be summarized as:

Mq̇ = p (23)

ṗ = f (q, q̇,p, t) ,

where q ∈ Rn summarizes the n coordinates of the system, M ∈ Rn×n is the mass matrix, p ∈ Rn

summarizes the momentum and momenta moments and f : R3n+1 7→ Rn summarizes the generic forces,
possibly depending on the configuration of the system.

When the system is subjected to kinematics constraints, the c constraint equations ϕ (q, t) : Rn+1 7→ Rn

are added to Eqs. 23 using Lagrange’s multipliers, resulting in:

Mq̇ = p (24)

ṗ+ ϕT
/qλ = f (q, q̇,p, t)

ϕ (q, t) = 0.

Eqs. 24 express the dynamics of a system constrained by holonomic rheonomic constraints in form of implicit
DAE:

g (ẏ,y, t) = 0, (25)

where y =
[
qT ,pT ,λT

]T
summarizes all the variables in Eqs. 24. The DAE is solved using original multistep

integration algorithms described in Ref. [30].

2. Structural modeling

The cycloidal rotor’s blades are modeled using 5 three-nodes beam elements. MBDyn implements an
original non-linear finite-volume geometrically exact beam formulation, described in Ref. [35]. This beam
model can simulate large node displacements that arise when the blade is very flexible and the rotor speed
is high.
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(a) Pitching amplitude=30◦.
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(b) Pitching amplitude=40◦.

Figure 6. Actual pitch versus ideal pitch.

The blade is constrained in two points: a spherical hinge at the blade root and a spherical hinge free to
move along the blade span at the tip. The blade pitch is imposed in two different ways:

1. Ideal kinematics: the desired pitch angle is directly imposed to the blade root, so it is possible to have
an arbitrary relationship between the pitch angle θ and the blade azimuth ψ.

2. Actual kinematics: the actual pitching mechanism is modeled in order to obtain the actual pitch angle.
In this case the relationship θ = f(ψ) is fixed and depends only on the mechanism geometry.

Figure. 6 shows the comparison of the ideal harmonic blade pitching kinematics with the actual kinematics
obtained using MBDyn for 30◦ and 40◦ pitching amplitudes. In the FEM analysis the actual blade kinematics
was included using a four-bar based blade kinematics analysis. One key characteristic to note in Fig. 6 is
the phase delay in the actual kinematics with respect to the ideal kinematics and this is one reason for the
lateral force production.

As said in the previous section MBDyn solves initial value problems, so a dynamics simulation with a
fictitious initial transient starting from a null rotor speed is performed to obtain the final periodic solution.

C. Aerodynamic Modeling

Flowfield studies have clearly shown that the cycloidal rotor blades operate in a complex 3-D aerodynamic
environment characterized by unsteady effects such as dynamic stall resulting from the large amplitude blade
pitching at high reduced frequencies (k ≈ 0.18) [13]. A higher fidelity modeling tool such as CFD would
be required to capture all these effects with sufficient accuracy. However, in the present study, the goal
is to develop a low-order model which can predict the blade loads and average rotor performance with
sufficient accuracy so that it could be used for routine design calculations. Therefore, a blade element based
aerodynamic model using an unsteady attached flow formulation (thin airfoil theory) is used in the present
analysis. Unsteady aerodynamics formulation uses indicial aerodynamics based on Wagner function and
Duhamel’s superposition principle to obtain the circulatory lift and moment for arbitrary variations in angle
of attack. It should be noted that the use of Wagner function is an approximation for the present problem
since the wake from the trailing edge of the airfoil is not planar.

It is important to justify the use of an attached flow formulation without a stall model when the blades are
pitching at high amplitudes. First of all, none of the previous experiments have showed any evidence of blade
stall until a pitching amplitude of 40◦ [12,13]. One reason for this is the large induced velocities, as measured
in the rotor wake using PIV, which clearly shows that the actual aerodynamic angle of attack is much lower
than the pitch angle [12]. Another reason could be the fact that the unsteady effects normally delay the stall
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(a) Blade pitching amplitude=25◦.
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(b) Blade pitching amplitude=30◦.

Figure 7. Comparison of lift coefficient (Cl) from attached indicial model with 2-D CFD results for a NACA
0010 airfoil pitching in freestream, Re=25,000, reduced frequency, k=0.18.

to higher angle of attacks. Therefore, to understand the role of unsteady aerodynamics on the lift produced
by an airfoil at these low Reynolds numbers, a 2-D CFD analysis was performed on an airfoil pitching in
a uniform freestream. The airfoil was harmonically pitched (α = α0sin(Ωt)) in a uniform freestream at a
reduced frequency of 0.18 and Reynolds number = 25,000. Figures 7(a) and 7(b) show variation of Cl with α
for NACA 0010 airfoil predicted using 2-D CFD for pitching amplitudes of 25◦ and 30◦, respectively. It was
interesting to see that at these low Reynolds numbers, even at such high pitching amplitudes, the dynamic
stall was extremely weak and this was mainly because of the continuous shedding of vorticity from the airfoil
leading edge (evident from the local dips in Cl curve), instead of vorticity accumulation at the leading edge
and shedding as a strong dynamic stall vortex as expected in conventional dynamic stall at high Reynolds
numbers. Because of this reason, as shown in Figs. 7(a) and 7(b), the attached flow indicial aerodynamics
formulation with a Clα of 5.1 is able to predict the average behavior reasonably well which might be sufficient
to predict the average forces correctly. However, it should be noted that this is an approximation and a
better way of modeling this would be by using a dynamic stall model such as the Leishman-Beddoes model.

1. Inflow model

An accurate inflow model is the key to predicting the aerodynamic loads on the cyclorotor. Two different
inflow models based on momentum theory are examined in the present study, 1) Uniform inflow model where
the entire rotor is immersed in a single stream tube as shown in Fig. 8(a), 2) A Double-Multiple streamtube
(D-MS) model developed in Ref. [15], where the rotor is divided into number of streamtubes and also the
influence of the upper half of the rotor on the lower half is taken into account (Fig. 8(b)).

2. Uniform inflow model

For the uniform inflow model, the magnitude of the inflow is calculated as

vi =

√
T

2ρA
(26)

The direction of the inflow is updated in each iteration based on the direction of the resultant thrust (β) as
shown in Fig. 8(a).
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(a) Uniform inflow. (b) Double-Multiple Streamtube (D-MS) inflow.

Figure 8. Schematic of the inflow models.

3. Double-Multiple Streamtube (D-MS) inflow model

In the multiple streamtube model, the rotor is divided into a number of streamtubes, which intersect
the rotor twice with different induced velocity values at the upstream and downstream halves as shown in
Fig. 8(b). At the two points of intersection of each streamtube with the blade path, the blade swept area
(Rdψ) acts as infinitesimally thin actuator surfaces, across which the rotor imparts axial momentum into
the flow. In the present formulation, this 2-D inflow model has to be used at each spanwise location of the
blade since the angle of attack of the blade and hence the lift produced varies along the span due to elastic
blade twist.

In the upstream half, the flow enters the rotor in the radial direction and bends due to the pressure forces
(S̄) from the adjacent streamtube so that the streamtube becomes vertical. The bending of the streamtube is
also important to maintain the symmetry of the flow inside the rotor. It is also assumed that the freestream
pressure is attained at some point inside the rotor and the velocity at that point is taken as the wake velocity
(w) for the upstream actuator surface. The wake velocity forms the freestream velocity to the downstream
actuator surface. Based on the mass, momentum and energy conservation in the streamtube, the wake
velocity can be expressed in terms of the upstream induced velocity as:

w =
2vu
sinΨ

, (27)

where

vu =

√
dTu sin

2 Ψ

2ρRdΨ
(28)

For the downstream half of the rotor:

dTd = 2ρRvd

√
w2 + 2wvd sinΨ + v2ddΨ (29)

The above equation has to be iteratively solved to obtain the inflow vd in the downstream half. dTu,d is
given by

dTu,d = F̄A
w

(
NbdΨ

2π

)
(30)
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where F̄A
w is the aerodynamic force in the radial direction which will be derived later in the paper. Equation

30 is derived based on the assumption that for a cyclorotor with Nb blades, each of these Nb blades spends
(dΨ/2π) time in each streamtube.

Figure 9. Schematic showing the velocities used in the aerodynamics formulation.

4. Calculation of blade aerodynamic loads

First step in the calculation of the blade aerodynamic forces is the calculation of section angle of attack.
The angle of attack of a blade segment is due to two components: the wind velocity and the blade velocity
at the 3/4 chord location. The general expression for the resultant velocity at a spanwise station, x, in the
rotating undeformed frame is given by (Fig. 9):

V̄ = −V̄w + V̄b, (31)

where V̄w is the wind velocity contribution from rotor inflow and V̄b is the blade velocity relative to the hub
fixed frame resulting from blade rotation and blade motion:

V̄w = Vwxî+ Vwy ĵ + Vwz k̂. (32)

For the uniform inflow model:

Vwx = 0,

Vwy = −vi cos (Ψ− β),

Vwz = −vi sin (Ψ− β). (33)

For the multiple streamtube inflow model upstream half:

Vwx = 0,

Vwy = 0,

Vwz = −vu, (34)

and for the downstream half:

Vwx = 0,

Vwy = −w cosΨ,

Vwz = w sinΨ + vd. (35)

12 of 28

American Institute of Aeronautics and Astronautics



The blade velocities Vbx, Vby and Vbz are given in Eqns. 12–14. However, since the blade velocities are
calculated at 3/4-chord, the distance eg is replaced by ηr, where ηr is the position of the 3/4-chord location
ahead of the blade pitching axis. For instance, if the blade is pitching at 1/4-chord, ηr = −0.5c.

Vbx = −(v̇′ + w′θ̇1)ηr cos θ1 − (ẇ′ − v′θ̇1)ηr sin θ1,

Vby = v̇ − ηr sin θ1θ̇1 +Ω(w + ηr sin θ1 +R),

Vbz = ẇ + ηr cos θ1θ̇1 − Ω(v + ηr cos θ1). (36)

The resultant blade velocity at a spanwise location, x, can be written in the rotating undeformed coordinate
system as:

V̄ = Vxî+ Vy ĵ + Vz k̂ = (Vbx − Vwx)̂i+ (Vby − Vwy)ĵ + (Vbz − Vwz)k̂. (37)

However, the blade section loads are calculated using the resultant velocity and aerodynamic angle of attack
in the rotating deformed blade coordinate system: UR

UT

UP

 = TDU

 Vx
Vy
Vz

 , (38)

where UR, UT and UP are the velocities in the deformed frame (Fig. 9) and TDU is the transformation matrix
from undeformed to deformed frame:

TDU =


1− v′2

2 − w′2

2 v′ w′

−v′ cos θ1 − w′ sin θ1

(
1− v′2

2

)
cos θ1 − v′w′ sin θ1

(
1− w′2

2

)
sin θ1

v′ sin θ1 − w′ cos θ1 −
(
1− v′2

2

)
sin θ1 − v′w′ cos θ1

(
1− w′2

2

)
cos θ1

 , (39)

α = tan−1

(
UP

UT

)
, (40)

U =
√
U2
T + U2

P . (41)

Wagner function based indicial aerodynamics is used to include the unsteady effects [36,37]. In this formula-
tion, the angle of attack variation over time is discretized as a series of step inputs. The airload response to
each step input is calculated using semi-empirical indicial response functions. The response depends on the
pitch and pitch rate of each step input. Once the indicial response is known, the unsteady loads to arbitrary
changes in angle of attack can be obtained through the superposition of indicial aerodynamic responses using
the Duhamel’s integral. The circulatory part of the lift coefficient, Cc

l , in response to an arbitrary variation
in angle of attack can be now written in terms of Wagner function (ϕ(s)) as:

Cc
l (t) = 2π

(
α(0)ϕ(s) +

∫ s

0

dα(σ)

dt
ϕ(s− σ)dσ

)
= 2παe(t), (42)

where αe represents the effective angle of attack and contains within it all of the time history effects on the
lift because of the shed wake,

s =
2

c

∫ t

0

Udt. (43)

The approximate expression for Wagner function for incompressible flow is given by:

ϕ(s) ≈ 1−A1e
−b1s −A2e

−b2s, (44)

where A1 = 0.165, A2 = 0.335, b1 = 0.0455 and b2 = 0.3. The Duhamel’s integral is solved in a recursive
fashion and the effective unsteady angle of attack (αe) is given as:

αe = α−X(s)− Y (s), (45)
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where X(s) and Y (s) are the deficiency functions, which are obtained numerically using one step recursive
formulas given below:

X(s) = X(s− δs)e−b1∆s +A1∆αs,

Y (s) = Y (s− δs)e−b2∆s +A2∆αs. (46)

The sectional lift and moment coefficients includes the contribution from both circulatory and non-circulatory
components:

Cl = Cc
l + Cnc

l , (47)

Cm = Cc
m + Cnc

m . (48)

The circulatory and non-circulatory components of lift are expressed as:

Cc
l = Clααe,

Cnc
l =

π

2U
cα̇− π

4

( c
U

)2

aα̈. (49)

The circulatory and non-circulatory components of moment are expressed as:

Cc
m =

1

2
Clα(a+ 0.5)αe,

Cnc
m =

πc

4

(
− 1

V
(0.5− a)α̇− c

2V 2

(
1

8
+ a2

)
α̈

)
. (50)

For the present formulation, since the pitching axis is at 1/4-chord, a=-0.5. As explained in previous section,
for the present analysis, Clα of 5.1 is used. Sectional profile drag is given by:

Cd0 = d0 + d1α+ d2α
2. (51)

Based on the 2-D CFD study, the static Cd0 values for a NACA 0010 airfoil at 25,000 Reynolds number
could be approximately expressed using d0 = 0.0334, d1 = 0 (symmetric airfoil) and d2 = 2.511. The total
drag, Cd, is given as the sum of profile (Cd0) and induced drag (Cdi) components:

Cd = Cd0 + Cdi , (52)

where Cdi
is given as:

Cdi =
Cl

2

πARe
. (53)

In the present analysis the Oswald’s efficiency factor, e is assumed to be 0.85. The normal (FA
n ) and chordwise

(FA
c ) forces and the pitching moment (MA

ϕ ) are given as:

FA
n = 0.5ρU2c(Cl cosα+ Cd sinα), (54)

FA
c = 0.5ρU2c(Cl sinα− Cd cosα), (55)

MA
ϕ = 0.5ρU2c2Cm. (56)

In the present formulation, spanwise flow is ignored and therefore the force in the spanwise direction, FA
x = 0.

Aerodynamic forces in the undeformed rotating blade coordinate system is given by:

F̄A = FA
u î+ FA

v ĵ + FA
w k̂, (57)

where  FA
u

FA
v

FA
w

 = TT
DU

 FA
x

FA
c

FA
n

 . (58)

The aerodynamic forces in the non-rotating inertial frame, FA
Z and FA

Y is given by:

FA
Z = FA

w sinΨ + FA
v cosΨ, (59)

FA
Y = −FA

w cosΨ + FA
v sinΨ. (60)

The instantaneous power required to rotate the blade is by:

P = −FA
v (ΩR). (61)
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D. Validation of the Structural Model and Inertial Force Formulation in the FEM Analysis

The structural model along with the inertial forces in the FEM analysis have been validated by comparing
the deformations predicted by the FEM analysis with the results obtained from the multibody model due
to only inertial forces for moderate deformations as shown in Figs 10(a) to 10(f). Figure 10(a) shows the
comparison of the FEM analysis with MBDyn for the variation of mid-beam radial bending deformation
around the azimuth for a pitching amplitude of 30◦ (harmonic pitching) at a rotational speed of 2000 rpm
for the baseline NACA 0010 blade which is relatively stiffer than the other blades tested. Figures 10(c)
and 10(e), respectively, show the comparison of the tangential bending and tip torsional deformation for
the same case. Figures 10(b), 10(d) and 10(f) shows the validation of deformation for a pitching amplitude
of 40◦ and 2000 rpm. It can be clearly seen that there is an overall satisfactory agreement between the
FEM analysis and multibody based analysis for moderate deformations. However it was observed that
for the extremely flexible blades (3% flat plate carbon blade), the FEM model is not able to predict the
deformations accurately. This clearly shows the need for a full nonlinear beam modeling tool such as the one
available in MBDyn in order to be able to accurately predict the performance of extremely flexible blades.

E. Validation of the Aerodynamic Model

Since only the average forces were measured during the experiments, the force predictions obtained from
a 3-D CFD study [32] was used to validate the instantaneous forces from the unsteady aerodynamic model
based on the two different inflow models: (1) Uniform inflow, and (2) Double-Multiple streamtube (D-MS)
model. For validation studies, rigid blades (no deformations) were used in both CFD and the present analysis
so that the aerodynamic model can be validated independent of the structural model.

Figures 11(a) and 11(b), respectively, shows the comparison between CFD, uniform inflow and multiple
streamtube model for the instantaneous vertical (Tz) and lateral aerodynamic forces (Ty) in the inertial
frame produced by a single blade on a 2-bladed cyclorotor using rigid blades at a pitching amplitude of 35◦.
It can be clearly seen that the forces predicted by the multiple streamtube model show better agreement
with CFD predicted forces especially in the case of the vertical force (Tz). However, the uniform inflow
model underpredicts Tz in the upper half of the blade trajectory and overpredicts in the lower half. In
the case of lateral force (Ty), the multiple streamtube model shows satisfactory agreement with the CFD
predicted forces. However, it will be shown later that even though the uniform inflow does not predict the
instantaneous forces accurately, the average forces are captured well using the uniform inflow model.

The other interesting characteristic to note from the time history is that, even though the blade pitch
angle is identical at the top most (ψ=90◦) and bottom most (ψ=270◦) points of the blade trajectory, the
vertical force (Tz) at the top most point is almost half of that at the bottom. Even if there is an effect of the
wake from the upper half on the lower half, it should only decrease the angle of attack at the bottom half
and thereby decrease the vertical force. However, the opposite is happening because of the virtual camber
effect caused due to the flow curvature, which will reduce the effective Cl at the upper half [14, 33]. The
virtual camber effect will be taken into account if the angle of attack is calculated at 3/4-chord location
[34]. Figure. 12 clearly shows the effect of virtual camber and inflow on the lift variation on the blades. The
dotted line in the figure shows the variation of lift coefficient of the blade calculated based on pure geometric
pitch angle. Because of the large chord-to-radius ratio of the present cyclorotor, when the virtual camber
effect is included, there is a downward shift of the curve (dashed line), increasing the magnitude of the lift
in the lower half and decreasing the lift in the upper half. Inclusion of the inflow effect (solid line) using the
double-multiple streamtube model, tries to reduce the lift in the lower half since it operates in the wake of
the upper half. Even then, it can be clearly seen that the magnitude of the lift coefficient is much higher in
the lower half compared to the upper half. This is the reason for the higher vertical thrust in the lower half
compared to the upper half.

From figures 10(a) to 10(f) it can be seen that even for the relatively stiff, NACA 0010 blades, there was
a small difference in bending and torsional deformations between the FEM and multibody analysis. Now, the
next step was to investigate whether these small differences in deformations can cause significant differences
in the aerodynamic forces and also to validate the aerodynamic models in the FEM and multibody analysis.
Figure 13 clearly shows that even with the small differences in the deformation predictions, the aerodynamic
forces match perfectly. However, this is not true for the flexible 3% carbon blades because the deformations
predicted by MBDyn and the FEM analysis are significantly different. Therefore, for the flexible blades, the
analysis was only performed using MBDyn.
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(a) Mid-beam radial bending deformation (w) for
NACA 0010 blades at 30◦ pitching amplitude.
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(b) Mid-beam radial bending deformation (w) for
NACA 0010 blades at 40◦ pitching amplitude.
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(c) Mid-beam tangential bending deformation (v) for
NACA 0010 blades at 30◦ pitching amplitude.
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(d) Mid-beam tangential bending deformation (v) for
NACA 0010 blades at 40◦ pitching amplitude.
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(e) Tip torsional deformation (ϕ) for NACA 0010
blades at 30◦ pitching amplitude.
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(f) Tip torsional deformation (ϕ) for NACA 0010
blades at 40◦ pitching amplitude.

Figure 10. Comparison of FEM and MBDyn blade deformations with inertial loads for the baseline NACA
0010 blades at 2000 rpm.
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Figure 11. Comparison of the instantaneous vertical (Tz) and lateral (Ty) aerodynamic forces in the inertial
frame due to a single blade with 3-D CFD results at a pitching amplitude of 35◦ for a 2-bladed rotor with rigid
blades using uniform inflow and double-multiple streamtube (D-MS) inflow models.
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Figure 12. Effect of virtual camber effect and inflow on the blade lift.
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Figure 13. Comparison of the instantaneous vertical (Tz) and lateral (Ty) aerodynamic forces for a 1-bladed
rotor operating at 30◦ pitching amplitude (harmonic pitching) using NACA 0010 blade.

F. Effect of Aerodynamics on Blade Deformation

Understanding the contribution of aerodynamic forces to the blade deformation is the key in deciding
whether a coupled aeroelastic analysis is required to accurately predict the blade aerodynamic loads; or it is
acceptable to obtain the deformations based on just inertial loads (primarily centrifugal force) and provide
it as prescribed deformations to the aerodynamic model. This understanding is of great significance while
performing a CFD-CSD analysis where each iteration is extremely computationally expensive. Figures 14(a)
to 14(f) show the variation of mid-blade radial bending (w), mid-blade tangential bending (v) and tip twist
(ϕ) about the azimuth due to inertial loads and combined inertial and aerodynamic loads for 3% flexible
carbon blade and baseline NACA 0010 blade at 40◦ pitching amplitude obtained using MBDyn with uniform
inflow aerodynamic model. It can be clearly seen from the figures that for both the blades, even though
the deformations were primarily driven by the inertial forces, the addition of aerodynamic forces brought in
significant differences especially for radial bending and torsional deformation. However, for the stiffer NACA
0010 blades, since the deformations themselves are significantly small, the effect of these deformations on
aerodynamic forces will be minimal. This clearly proves that a coupled aeroelastic analysis is required in
order to be able to predict the blade aerodynamic loads accurately, especially for flexible blades.

G. Effect of Unsteady Aerodynamics

Since the blades are operating at a relatively high reduced frequency (k ≈ 0.18), the unsteady aerody-
namic effects can have a significant effect on the blade loads. However, the most significant effect of the
unsteady aerodynamics is in creating a phase lag in the development of aerodynamic forces which contributes
to the lateral force. Figure 15 compares the predicted average vertical and lateral force with quasi-steady
and unsteady aerodynamic model for 30◦ harmonic blade pitching. It can be clearly seen that the unsteady
effect produced significantly higher lateral force compared to the quasi-steady model. Also, the vertical force
drops slightly with the inclusion of unsteady aerodynamics.
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(a) Mid-beam radial bending deformation (w) for
NACA 0010 blades.

0 45 90 135 180 225 270 315 360
8

10

12

14

16

18

20

22

24

26

Azimuth [deg]

M
id

−
be

am
 r

ad
ia

l d
is

pl
ac

em
en

t [
m

m
]

 

 

aero+inertial loads
inertial loads

(b) Mid-beam radial bending deformation (w) for 3%
blades.
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(c) Mid-beam tangential bending deformation (v) for
NACA 0010 blades.
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(d) Mid-beam tangential bending deformation (v) for

3% blades.
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(e) Tip torsional deformation (ϕ) for NACA 0010
blades.
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(f) Tip torsional deformation (ϕ) for 3% blades.

Figure 14. Comparison of blade deformations with and without aerodynamic loads for the baseline NACA
0010 blades and 3% carbon blades at 40◦ pitching amplitude and 2000 rpm.
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Figure 15. Comparison of the average vertical (Tz) and lateral (Ty) forces with quasi-steady and unsteady
aerodynamics for a 3-bladed rotor operating at 30◦ harmonic pitching.

III. Validation of the Aeroelastic Models

The two aeroelastic models: (1) Nonlinear FEM with aerodynamic model based on double multiple
streamtube inflow model, and (2) Multibody with uniform inflow based aerodynamic model, were validated
using the experimental results on a MAV-scale cycloidal rotor from Refs. [12, 13]. The model was validated
for 2- and 3-bladed cyclorotors over a range of rotational speeds from 400 rpm to 2000 rpm and pitching
amplitudes ranging from 25◦ to 40◦. As discussed before, the blades used in the validation studies included a
relatively stiffer baseline NACA 0010 carbon blade and two flat plate carbon blades which had thickness-to-
chord ratios of 6% and 3%. The validation studies were performed using the actual blade pitching kinematics
in the model.

A. NACA 0010 carbon blades

For the NACA 0010 blades, as shown in Figs. 10(a) to 10(f), the deformations predicted by both the FEM
analysis and MBDyn were in good agreement. Moreover, the elastic deformations were small and therefore
it did not have a significant effect on the blade aerodynamic loads. Therefore, it should be noted that, for
these blades, the differences between the predicted and measured forces are driven by the inaccuracies in
aerodynamic modeling, and not because of the inaccurate prediction of the blade deformations. It was also
shown that using the same aerodynamic model, both FEM and MBDyn predicted identical blade loads for
the NACA 0010 blades (Fig. 13). Therefore, it would be more useful to compare average force predictions
from the aeroelastic models based on two different inflow models with the experimentally measured forces.

Figures 16(a)– 16(d) and 17(a)– 17(d) show the validation of the vertical (Tz), lateral (Ty) and resultant
force (T ) for 2- and 3-bladed rotors, respectively, for four different blade pitching amplitudes. Figures 16(a)
and 16(b) show the validation of Tz, Ty and T for a 2-bladed rotor operating at a pithing amplitude of 25◦.
It can be clearly seen that the multiple streamtube model is predicting the vertical force very accurately,
however, the lateral force is underpredicted. The uniform inflow model is slightly underpredicting the vertical
force, and slightly overpredicting the lateral force. However, both the models are predicting the resultant
force (T ) very accurately. Figures 16(c) and 16(d) show the validation for the 2-bladed cyclorotor for a
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(a) Tz and Ty for blade pitching amplitude=25◦.
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(b) Total force for blade pitching amplitude=25◦.
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(c) Tz and Ty for blade pitching amplitude=40◦.
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(d) Total force for blade pitching amplitude=40◦.

Figure 16. Comparison of the predicted average vertical (Tz) and lateral (Ty) and total thrust (T ) with
experimental data for a 2-bladed rotor using NACA 0010 baseline blades.
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(a) Tz and Ty for blade pitching amplitude=30◦.
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(b) Total force for blade pitching amplitude=30◦.
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(c) Tz and Ty for blade pitching amplitude=35◦.
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(d) Total force for blade pitching amplitude=35◦.

Figure 17. Comparison of the predicted average vertical (Tz) and lateral (Ty) and total thrust (T ) with
experimental data for a 3-bladed rotor using NACA 0010 baseline blades.
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pitching amplitude of 40◦. It can be clearly seen that the multiple streamtube model is predicting the lateral
force very accurately till a rotational speed of 1400 rpm, however, the uniform inflow model is overpredicting
the lateral force. Again as in the previous cases the resultant thrust is predicted accurately.
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(a) Vertical force, Tz
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(b) Lateral force, Ty

Figure 18. Comparison of the predicted average vertical (Tz) and lateral (Ty) force with experimental data at
a pitching amplitude of 30◦ for a 3-bladed rotor using baseline NACA blades and 6% and 3% flat plate blades.

Figures 17(a) and 17(b) show the force validation for a 3-bladed rotor operating at 30◦ pithing amplitude.
Again, similar to the previous case, the vertical force is predicted accurately with both the uniform inflow
and multiple streamtube model, however, lateral force predictions are better with the uniform inflow model.
For the 35◦ case (Fig. 17(c)), again both the models were equally good in predicting the vertical force even
though there was a slight overprediction above 1600 rpm and the lateral force predictions from the multiple
streamtube model were lower than the measured values. However, the uniform inflow model predicted the
lateral force reasonably well for most of the rotational speeds even though there was a slight over prediction.
Again, as in the previous cases, both the models predicted the resultant force accurately (Fig. 17(d)), and
in this case the multiple streamtube model was slightly better than the uniform inflow model.

A key conclusion from the above study is that, both the inflow models are equally good in predicting
the vertical and resultant forces. However, the uniform flow model predicted the lateral force better than
the multiple streamtube model. The multiple streamtube model was able to predict the lateral force more
accurately at higher pitch amplitudes and lower rotational speeds. From a cyclocopter design point of view,
predicting the resultant thrust is very important and both the models are capable of satisfactorily predicting
the magnitude of the resultant thrust. The inability of the model to predict the individual vertical and
lateral forces in some of the cases means that the phasing of the resultant thrust with respect to the pitch
angle is not predicted correctly.

B. Flexible flat plate carbon blades

As explained before, experimental studies have clearly shown that the thrust producing capability of the
cyclorotor deteriorates as the blades are made flexible. This aspect is investigated in this section using 3%
and 6% thickness-to-chord ratio flat plate blades. The results are compared with the baseline NACA 0010
blades.

Earlier, it was shown that for the relatively stiff NACA 0010 blade, the resultant thrust was predicted
with sufficient accuracy with either of the aerodynamic models. However, as explained before, since the
blades were relatively stiff, it was more of an aerodynamic problem. However, for the flexible blades, it
is a highly coupled aeroelastic problem and the accurate prediction of both structural deformations and
aerodynamic forces (with the effect of deformations) is important for the accurate prediction of the rotor
thrust. Also, for the flexible blades, the present FEM analysis was not able to predict the deformations
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(a) Blade pitching amplitude=25◦
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(b) Blade pitching amplitude=30◦
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(c) Blade pitching amplitude=35◦
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(d) Blade pitching amplitude=40◦

Figure 19. Comparison of the predicted average total force with experimental data for a 3-bladed rotor using
baseline NACA blades and 6% and 3% flat plate blades.
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accurately. Therefore, an aeroelastic model based on MBDyn and uniform inflow was used for the flexible
blade validations.

Figure 18 shows the vertical and lateral force comparison and Fig. 19 shows the total force comparison
of the predictions with experimental results for the baseline NACA 0010 carbon blade, 6% carbon blade
and 3% flexible carbon blade. Figure 18(a) compares the vertical force prediction with the experimental
measurements for a 3-bladed rotor at 30◦ pitching amplitude. It can be seen that for the baseline NACA
0010 blade and the 6% carbon blade, the predictions were very accurate. However, for the 3% carbon
blade, the model is able to predict the forces accurately at lower rotational speeds, however, there is an
underprediction above 1200 rpm. However, the model accurately captures the trend in the variation of
vertical force for the 3% blade. Figure 18(b) compares the predicted lateral forces with measured values for
the same case. Again, it can be clearly seen that the predictions for the baseline NACA blade and 6% blade
are good. However, for the flexible 3% blade, even though the predicted values are close to the experimental
values, the lateral force is overpredicted at lower rotational speeds, and underpredicted at higher rotational
speeds. The resultant thrust validation for 25◦, 30◦, 35◦ and 40◦ pitching amplitudes for a 3-bladed rotor
are shown in Fig. 19. Again, the resultant thrust is predicted accurately for the stiffer blades, however, for
the 3% flexible blades there is an underprediction of the thrust at higher rotational speeds.

One reason for the inaccurate prediction of the thrust at higher rotational speeds is the fact that the
deformations increase with rotational speed and hence their contribution to the blade aerodynamic loads
increases. Therefore the ability to predict deformations accurately and to include their influence in the aero-
dynamic forces becomes important. The underprediction in thrust may be attributed to the overprediction
of deformations at higher speeds or the inaccuracies in including the effect of deformations on aerodynamic
loads. However, the overall prediction for the flexible 3% blade is quite satisfactory considering the fact that
the blades are undergoing large deformations (blades twist up to 40◦ at the tip for 2000 rpm (Fig. 14(f))).

Figure 20 shows the variation of geometric angle of attack of the blades (θ+ϕ̂) at the mid-span and tip for
the baseline NACA 0010 blade and also the flexible 3% blades for a pitching amplitude of 40◦. It should be
noted that these are geometric angles and therefore do not have the effect of inflow. From Fig. 20(b) it can
be clearly see that for the flexible 3% blade the drop in thrust at higher rotational speeds is due to the large
nose-down twist in the upper half (Ψ = 0◦–180◦), which significantly decreases the geometric angle of attack.
However, there is a small nose-up twist in the lower half (Ψ = 180◦–360◦) especially at the tip, however, this
is much smaller than the nose-down twist in the upper half and is not sufficient to compensate for the loss
of lift in the upper half and this effectively decreases the net force. However, as shown in Fig. 20(a), for the
baseline NACA 0010 carbon blades, the twist is significantly small and the geometric angles of attack are
not very different from the prescribed pitch angles.
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(a) Geometric angle of attack (θ + ϕ̂) for the baseline
NACA 0010 blade.

0 45 90 135 180 225 270 315 360
−50

−25

0

25

50

Azimuth [deg]

G
eo

m
et

ric
 a

ng
le

 o
f a

tta
ck

 [d
eg

]

 

 

Pitch angle
Mid−blade AoA
Tip AoA

(b) Geometric angle of attack (θ+ ϕ̂) for the 3% flexible
carbon blade.

Figure 20. Variation of Geometric angle of attack (θ+ ϕ̂) at the tip and mid-beam for 40◦ pitching amplitude.
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IV. SUMMARY AND CONCLUSIONS

The objective of the present work was to develop a refined aeroelastic model that can accurately predict
the blade loads and average thrust of a MAV-scale cycloidal rotor. The analysis followed two parallel
approaches: (1) non-linear beam finite element analysis with radial bending, tangential bending and torsional
degrees of freedom and, (2) multibody based analysis, MBDyn applicable for large deformations. Both the
analysis used unsteady aerodynamics assuming attached flow. Two different inflow models, uniform inflow,
and double-multiple streamtube (D-MS) were investigated. The analysis was also used to understand the
effect of blade flexibility, unsteady aerodynamics and blade kinematics on the cyclorotor performance. The
following are specific conclusions drawn from this study:

1. When compared to the experimental measurements, the present analysis was able to predict the mag-
nitude of the resultant thrust vector with sufficient accuracy over a wide range of rotational speeds,
pitching amplitudes, number of blades and even for an extremely flexible blade. However, the direction
of the resultant thrust vector was not predicted with the same accuracy in all the cases.

2. Even though the multiple streamtube inflow model predicted the instantaneous forces more accurately
than the uniform inflow model when compared with the 3-D CFD results, both the inflow models were
quite comparable in predicting the average resultant thrust for the baseline NACA 0010 blades.

3. The key reasons for the lateral force production was identified to be the mechanical lag in the actual
blade kinematics (easily modeled within the multibody approach) and the aerodynamic phase lag
brought about by the unsteady aerodynamics. Another parameter that had a significant influence on
the magnitude of the lateral force (with minimal influence on the vertical force) is the drag model
used for the blades. Without the contribution from the induced drag, the lateral force was always
underpredicted when compared with test data.

4. Even though the deformations were dominated primarily by inertial forces, aerodynamic forces also
had significant influence on them. This clearly shows the need for a coupled aeroelastic analysis for
predicting the blade loads on a cyclorotor with flexible blades.

5. For the 3% thickness-to-chord ratio flexible blades, the resultant thrust was slightly underpredicted
at higher rotational speeds. This may be attributed to the overprediction of structural deformations.
Another reason could be the inaccuracies in the accounting for the effect of deformations in blade
aerodynamics forces.

6. The key reason for the lower thrust while using flexible blades was identified to be the reduction in
geometric pitch angle due to the large nose down torsional deformation of the blades in the upper
half of the circular blade trajectory which is not compensated by the nose-up blade deformation in
the bottom half as expected. Also, the study showed that a multibody based analysis is required to
predict the deformations accurately for very flexible blades.
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